Through flow theory has been limited in its DWT
Absolute swirl correction term, Eqs applicability and in its accuracy by the fact that it Fb Airfoil pressure force has not historically been cast in a form which can Ff Airfoil friction force account for the nonaxisymmetries that naturally arise H Total enthalpy in turbomachinery flow due to the presence of finite h Static enthalpy numbers of rotor and stator airfoils.
The attempt to He Composite interaction term, Eq. 9 circumvent this limitation by the introduction of an Rothalpy aerodynamic blockage factor has been demonstrated in earlier work to produce fundamental inconsistencies L Blockage Scaling length, Eq. 8 in the calculation which lead to significant errors N Number of airfoils in a row in the regions of the flow where the nonaxisymmetries P Static pressure are severe.
The formulation in Part I of the present QUm Dynamic pressure based on Um work is a derivation of a system of through flow R Gas constant equations for nonaxisymmetric flow. r Radial coordinate A benchmark data base is used in Part II to Rm Radius at midspan provide input to the calculation and to help identify s Entropy the dominant terms.
It is demonstrated that the T Static temperature dominant effect of nonaxisymmetry is contained in two Um Wheel speed at midspan terms that relate the total pressure of the averaged W Relative flow speed flow to the mass averaged total pressure.
It is also x Axial coordinate demonstrated that the present formulation produces a a Absolute yaw angle result which is more accurate than that obtained with S Relative yaw angle the historical blockage-based formulation. The assessment of the through flow formulation for nonaxisymmetric flow in turbomachinery formulated Part I of this paper will be based on an existing finite element through flow analysis suitably modified to include the effects of nonaxisymmetry in the flow. The analysis that will be used is that of Habashi and Youngson (1983) . The axisymmetric version of this code solves Eqs. 22a, 22b and 22c in Part I of this paper. The remaining terms in Eq. 22 were added in the present analysis.
The experimental data that will provide the input as well as the experimental data for the assessment of the computed results is the low speed two stage compressor data of Dring and Joslyn (1986d and 1987) . This data was acquired with the compressor operating at near stall conditions where the effects of the nonaxisymmetries in the flow were most severe. In spite of the fact that the flow in this compressor was nearly incompressible (M < 0.2) the assessment of the analytical model will utilize the fully compressible form of the equations. This was done in an effort to minimize the number of approximations and also in an effort to facilitate any future assessments with high speed (compressible) data. However, in light of the nearly incompressible nature of the flow, the rothalpy-entropy correction term (Part I, Eq. 22j) will be replaced with the rotary total pressure correction term, Part I, Eq. 27i (divided by density).
It is very convenient, both experimentally and analytically, to utilize dimensionless input to the calculation and also to carry out the analytical/-experimental comparisons on a dimensionless basis. For this reason the following reference quantities will be used as a basis for nondimensionalization.
where pi is the inlet static density. Pressures will be expressed in terms of a pressure coefficient based on the absolute total pressure at the inlet and on
The various pieces of input data required by the new formulation will now be discussed.
Total Pressure Loss Total pressure loss was calculated by circumferentially averaging the full span traverse data, e.g. Part I, Fig. 1 . The spanwise distribution of total pressure loss across each airfoil row was determined by taking the difference between the mass averaged absolute (or relative) total pressures at the stator (or rotor) inlet and exit. This difference was taken at a fixed radius and it was used in the analysis in a consistent manner, i.e., as the difference at a fixed radius. Loss was not taken along stream lines since their location is not known a priori. As shown by Dring and Joslyn (1986d and 1987) and elsewhere, loss may appear to be locally negative (i.e., an apparent total pressure rise) due to radial transport of the flow in and between wakes. Loss at a fixed radius may also be negative due to radial displacement of stream surfaces. This can only occur, however, where there are radial gradients in total pressure. Although the loss was based on measurements at traverse planes some distance upstream of the airfoil leading edge and some distance downstream of the trailing edge, in the present calculation the loss was assumed to increase linearly from zero at the airfoil leading edge to the measured value at its trailing edge.
Finally, recall that the assumption of axisymmetric stream surfaces was necessitated in the derivation of the conservation conditions. This assumption is equivalent to neglecting transport across stream surfaces by either deterministic secondary flows or by random diffusion (James, 1987 , Adkins and Smith, 1982 , and Gallimore and Cumpsty 1986a . However, the method by which the total pressure loss is being calculated from the measured data includes these effects. As stated above, both experimentally and analytically the loss is the net total pressure change due to all the mechanisms involved, i.e. skin friction, stream surface rotation, diffusion, and so on.
Exit Flow Angle
The spanwise distributions of airfoil exit flow angle were determined from the density averaged velocity components according to Eqs. 25 and 26 of Part I of this paper. The importance of using the correct flow angle definition can be seen from Fig. 2 of Part I where absolute and relative flow angles have been calculated from the data acquired in the absolute frame of reference at the second stator exit. Significantly different angles can be calculated depending on the definition chosen.
As suggested by the results of Popovski and Lakshminarayana (1986) , turning within each airfoil row was distributed linearly from the leading edge to the trailing edge.
Airfoil Radial Frictional Forces
The radial component of the airfoil frictional forces (Ff r' Eq. 22d) was neglected in this assessment. This is justified on the basis that the flow over the airfoils in the regions where the flow is attached, i.e. outside of the regions of corner separation, has only a very small radial component.
Velocity Fluctuation Terms
The spanwise distributions of these three terms (Part I, Eqs. 22e, 22f and 22g) were calculated from the velocity component data available at the traverse planes downstream of each airfoil row. The following three dimensionless parameters were calculated from the data.
It should be noted that while DRR, DRX and DTT could be calculated from the measured data at the traverse planes between adjacent airfoil rows, there was no intra-row data available for their estimation within the airfoil rows. For this reason DRR and DRX were assumed to be zero within the airfoil rows. DTT, however, was estimated within the airfoil rows based on the airfoil potential flow analyses available from hub to tip. This was done in spite of the fact that the pressure distributions near the endwalls showed significant departures from potential flow due to corner separation and rotor tip leakage.
The axial derivative in Eq. 22f of Part I and the evaluation of the fluctuation terms at calculation planes up and downstream of the traverse planes was based on the assumption of an exponential decay of the three parameters. For example,
In this expression "L" is a scaling length that models the decay rate of the measured data and it was taken to be half of the airfoil chord.
Airfoil Radial Pressure Forces
The radial component of the airfoil pressure force was treated in the form derived by Jennions and Stow (1985) as in Eq. 22h (Part I). Although the flow in the core flow region produced rotor and stator pressure distributions which were very close to potential flow (Dring and Joslyn, 1986d ) the flow in the endwall regions had major deviations from potential flow (due to hub corner separation and rotor tip leakage). Thus in the core flow region a potential flow calculation could have been used to determine (P -P a ) and (P a -P s ) in Eq. 22h (Part I). In the endwall regions, however, such a calculation would have been subject to grave doubt. Since the full span pressure distributions were measured on both the rotor and the stator an alternative approach was taken utilizing Eq. 29 of Part I. In this form (P p -P s ) was available directly from the measured airfoil pressure distributions and the radial derivative of the airfoil mean camber line angular location (9 R ) was determined from the airfoil geometry.
Thermodynamic Fluctuation Term
The thermodynamic fluctuation term (Part I, Eq. 22i) involves the circumferential variations of entropy, enthalpy and temperature. However, since the present comparison is based on a low speed experiment (M -0.2) with only very small density and temperature variations, and since this term does not appear in the incompressible form of the averaged momentum equation (Part I, Eq. 27), it was neglected.
As was mentioned in Part I the Velocity Fluctuation Terms can be combined with the Airfoil Radial Pressure Force term to form a single additive term on the right hand side of the momentum equation. This is possible because, aside from density, these terms contain no computed information. Hence for the present nearly incompressible case these four terms have been collected into a single dimensionless term as follows.
Rothalpy/Entropy Average Term This is the term (Part I, Eq. 22j) that reconciles the different natures of the averaged rothalpy and entropy that arise in the momentum and conservation equations. Since the data base for the present assessment is for a virtually incompressible flow this term will be evaluated based on rotary total pressure (Hawthorne, 1974) instead of rothalpy and entropy. This is the naturally occurring variable for incompressible flow (Part I, Eqs. 27b and 27i). For this reason, the following dimensionless parameter was determined from the data at the traverse planes between adjacent airfoil rows for the rotating frame of reference.
For the absolute frame of reference one must use the following in place of Eq. 10.
--n DPA = (o ,abs Po,abs)/QUm (11) Both DPR and DPA were also assumed to vary with axial distance up and downstream of the traverse planes in the same exponential manner as DRX in Eq. 8. Note that, as with H e (Eq. 9), aside from the effects of density, these terms (Eqs. 10 and 11) are also only additive terms on the right hand side of the momentum equation. They play no active role in the iterative process, that is, aside from density they contain no computed information.
Absolute Angular Momentum Average Term This is the term (Part I, Eq. 22k) that reconciles the naturally occurring density averaged absolute swirl that arises in the momentum equation with the mass average that occurs in the conservation equation. The following dimensionless parameter was determined from the traverse data between adjacent airfoil rows.
Unlike the previous fluctuation terms which were essentially only additive terms on the right hand side of the momentum equation, this term does play an active role in the calculation. This is because of the presence of e in Eq. 22k (Part I) which is not known a priori and which is determined as part of the solution iteration. The final form of the averaged radial projection of the momentum equation being employed in this low Mach number assessment is as follows for the rotating frame of reference. Since, as was stated above, this assessment will be based on the compressible form of the equations and not on the incompressible form some accommodation must be made to relate the relative and absolute total pressure correction terms (DPR and DPA) to analogous correction terms for the total relative and absolute enthalpy (and rothalpy). This is required since, for the compressible flow calculation, the static and total enthalpies are related directly to velocities (Part I, Eq. 14) and the static and total pressures are calculated from them.
Defining DHR in a manner analogous to DPR, DHR -(I -I )4 U 2 (15) m it can be shown that (Dring and Oates, 1988) ,
With this expression, even the small changes in density that occur between the inlet static density and the density at some location within the compressor can to some extent be accounted for. The same expression can also be derived for the total enthalpy and pressure correction terms in the absolute frame of reference. The absolute and relative correction terms are related through Eq. 24 of Part I as follows.
In the present calculations DWT will be calculated from the measured distributions of DPR and DPA.
ASSESSMENT
Input Data This formulation of through flow theory will be assessed by utilizing a benchmark data base acquired on a large scale, low speed, two stage axial compressor. The data base consists of fullspan, stationary and rotating frame traverse data acquired in planes downstream of the first stage stator, and downstream of the second stage rotor and stator. These will be referred to as planes 3, 4, and 5 respectively. This section will provide a summary of this input data for the case of the compressor operating at its near stall flow coefficient (^ = 0.45) with a large second stage rotor tip clearance (cl/B = 0.041). This case was chosen for the assessment since it had the highest degree of nonaxisymmetry in the flow and hence it would be a severe test case for the new formulation.
In order to provide some perspective as to where the effects of nonaxisymmetry are most important the STATOR 2 EXIT (STA. 5) aerodynamic blockage profiles are presented in Fig. 1 . The definition of this expression for aerodynamic blockage is given by Dring (1984) . These profiles were not used in the present assessment but 1°m they do show that the regions of most severe V nonaxisymmetry in the flow (i.e., the regions of j highest blockage) were at the hub, and especially in the regions aft of the stators (see Part I, Fig. 1 ). The nature of the flow in this compressor has already been discussed extensively in the literature (Dring and Joslyn, 1983 , 1984 , 1986c , 1986d , 1987 . In order to _3 provide some indication of the magnitude of these terms the spanwise distributions of the area and mass averaged total pressure loss are also included on the plots for the traverse planes downstream of the second stage rotor and stator.
Several things are evident in these results.
(1) The area and mass averaged total pressure losses are significantly different. Recall that only the mass averaged loss is consistent with the formulation.
(2) DPR and DPA are always negative. This is because, for this data, the mass averaged total pressure is always greater than the total pressure of the density averaged flow (Eqs. 10 and 11). The generality of this^m observation, however, remains to be demonstrated. (3) DPA is greater than DPR aft of stators and DPR is j greater than DPA aft of rotors.
Finally, Recall that DWT was calculated from DPR and DPA according to Eq. 18 and that the decay of these terms up and downstream of the traverse planes was assumed to be exponential (according to Eq. 8).
Parenthetically, it was demonstrated that the contribution of the static pressure distortion to DPR and DPA (i.e, (Ps s)/QUm) was generally much smaller than that of the dynamic pressure. This fact may be seen in the data presented by Hirsch and Dring (1987), in Figs. 3a, 3b , and 3c of that work, where a similar observation was made. This suggests that DPR and DPA may be accurately determined from velocity measurements, such as laser or hot-film anemometry data, acquired between the airfoil rows of a compressor. This approximation would be even more accurate at less severe conditions further from stall.
The term that includes all of the interaction terms derived by Hirsch and Warzee (1979) , H e in Eqs.
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Comparison of Measured and Computed Results
The comparison of the measured and computed results is shown in Figs. 6 through 10. In varying degrees, the agreement obtained with the present formulation of the through flow equations was better than that obtained with the blockage formulation. In some respects the predictions were similar but in others there were significant local differences.
The measured and predicted hub and tip static pressure distributions are shown in Fig. 6 . The measured data is indicated by sets of three symbols representing the maximum, average and minimum in the circumferential variation of static pressure. These circumferential variations are due to the pressure distributions of the rotor and stator airfoils.
The agreement between the measured and the computed static pressure results is in general quite good. It is also comparable to the agreement that was obtained with the blockage formulation (bring and Joslyn, 1986d and 1987) . The prediction is below the data at Plane 4 (aft of the second rotor) at the tip. This has been demonstrated to be due to the large rotor tip clearance in this test (cl/B = 0.041). other area of disagreement is at Plane 6, far downstream of the second stator trailing edge. The slightly high predicted static pressure at the hub at Plane 6 may be a result of letting DPR and DPA decay too quickly. Recall that the decay length (L) used in the calculations (Eq. 8) for locations upstream and downstream of the traverse planes was half of the airfoil chord. A longer decay length would have caused the hub static pressure at Plane 6 to be lower. In summary, an accurate prediction of the flow path static pressure has been achieved with the new formulation without the use of aerodynamic blockage.
Since measured data was only available beginning at the first stator exit (Plane 3), the computed spanwise total pressure distribution at this location was matched to the data by adjusting the loss and deviation in the first stage rotor and stator (Fig. 7) . The excellent agreement between the measured and computed static pressure distribution, however, is a result of the through flow model. Once the total pressure is set the static pressure is determined by the stator exit flow angle (Fig. 2) and by DPR and DPA (Fig. 3) . The minimum, average, and maximum hub and tip static pressures are also shown in Fig. 7 at 0% and 100% span.
The spanwise distributions of the remainder of the computed results at the first stator exit (Plane 3) are shown in Fig. 8 . The relative flow angle (Fig. 8a) is well predicted, even near the hub where the nonaxisymmetry was strong (Fig. 1) . The agreement in this region is better than that obtained with the blockage formulation (Dring and Joslyn (1987) Fig. 5 ). The angle errors for that case were 2 to 3 times as great as those in Fig. 8a . The main reason for this improvement is due to the more consistent angle definitions in the present formulation (Eqs. 25 and 26 of Part I). The axial velocity component is well predicted (Fig. 8b) . Agreement at the hub and at the tip is slightly better than with the blockage formulation (Dring and Joslyn (1987) Fig. 5 ). The relative total pressure is also predicted accurately (Fig. 8c) . Agreement is comparable to that with the blockage formulation. The spanwise distributions of the computed results aft of the rotor (Plane 4) are shown in Fig. 9 . Recall that the degree of nonaxisymmetry produced by the second stage rotor is significantly less than that produced by either of the stators. This can be seen by the magnitudes of the blockage (1-R), and DPR and DPA (Figs. 1, 3, 4 , and 5). It is not surprising then that the agreement between the prediction and the data at this plane is excellent and that the prediction is only slightly better than that of the blockage formulation (Dring and Joslyn (1987) Fig. 7 ). Both predictions of the absolute in Fig. 10 .
Recall that the degree of nonaxisymmetry flow angle close to the tip fall short of the data produced by the second stator is far greater than (Fig. 9a ) due to the large rotor tip clearance and that produced by any of the other airfoils. This can the strongly three dimensional flow that it produces be seen by the magnitudes of the blockage (1-R), and (Part I, Fig. 1 ). This can also be seen in Fig. 9c DPR and DPA (Figs. 1, 3, 4, and 5) . Note that the where the prediction closely follows the static blockage near the hub at this plane approaches 40%.
pressure out to about 90% span. The large tip clearThe data at this plane, therefore, represent the ance causes a slightly increased gradient from there severest test of the prediction in this assessment.
to the tip which the prediction does not capture.
The agreement between the measured and computed
This effect was also mentioned with regard to the relative flow angles out to 30% span is much better computed tip static pressure at this plane in with the present formulation (Fig. 10a) than with the Fig. 6 . blockage formulation (Dring and Joslyn (1987) Fig. 9 , 0.
angle definitions in the present formulation (Eqs. 25 and 26 of Part I). As discussed earlier, and as shown in Fig. 2 of Part I, the magnitude of the relative flow angle depends strongly on how it is defined. The axial component of velocity, and the static, absolute and relative total pressures are all in better agreement with the data with the present formulation than with the blockage formulation. This is especially true near the hub and tip where nonaxisymmetery is the strongest.
In summary, the present formulation gave an accurate prediction of nearly every feature of the flow at this challanging near stall flow condition. By way of global accuracy, at midspan both formulations were about 1% high in predicting the second stage static pressure rise, 2% high in predicting the absolute total pressure rise, and 4% high in predicting the relative total pressure rise. It is difficult to say whether this discrepancy lies in the data or in the formulation.
Airfoil loading parameters calculated in the through flow analysis that are of particular interest to compressor designers include the dimensionless static pressure rise, 8P/Q, and the diffusion factor, "D" (Johnsen and Bullock, 1956 ) defined as follows:
where VI = inlet velocity V 2 = exit velocity
The predicted static pressure rise parameter distributions for the rotor and the stator were similar for the two formulations. The diffusion factors, however, were very different (Fig. 11) . This difference was greatest for the second stator, near the hub. This is a critical difference in diffusion factor since airfoil total pressure loss begins to increase dramatically as the diffusion factor rises beyond 0.6. The reason for the difference in the diffusion factors for the two formulations is that in the blockage formulation the velocities (V 1 , V 2 , and 5VT ) are usually based on "blocked" velocity components (which are similar to mass averages). These may be converted to "unblocked" velocity components (which are similar to area averages) by multiplying them by the local blockage factor (K). In the present formulation the velocities are based on the density averaged velocity components, (which are close to area averages in this low speed assessment). An example of the impact of using these different velocities is as follows for the 10% span location for the second stage rotor and stator.
Rotor 2 If the blockages at a particular spanwise location at the inlet and at the exit of an airfoil row are equal then the effects of blockage will cancel in the calculation of "D." Hence the blocked and unblocked "D" factors will be equal. However, if the blockages at the inlet and at the exit of an airfoil row are not equal, they will change the "D" factor. This is the case in the examples above at 10% span (at Planes 3, 4, and 5, 1 -R = 0.821, 0.928, and 0.617).
The important aspect of this discussion is not which "D" factor distribution is correct but rather it is that widely different "D" factors can be calculated depending on the assumptions used. It is important that the "D" factor used in any loss correlation be congistent with the one calculated in the through flow analysis.
Sensitivity Analysis
A series of calculations were carried out to determine the sensitivity of the computed results to various simplifying assumptions. This step was felt to be essential due to the very large amount of input data required by the present formulation. In its complete form the input data requires the specification of spanwise distributions of most of the terms on the right hand side of Eq. 14.
With this much input the exact formulation could never be used as a practical design analysis. A major simplification would be achieved if some assumption could be made about the many terms collected into the single term He (Eq. 9) in Eq. 14.
This and other attempts to simlify the input are discussed below and they are judged in terms of the errors that they produce relative to the base case discussed above.
Case A: Neglecting H c . The most powerful simplifying assumption with regard to Hc is to neglect it completely, i.e. by setting H c = 0. Both the local as well as the global effects of this assumption were seen to be extremely small. The changes to the static, and to the relative and absolute total pressures at midspan were less than 0.1% of the stage pressure rise and less than 0.5% for the rest of the flow field. The changes in incidence were small fractions of a degree. These observations were consistent with the fact that the contribution of H c to the right hand side of the through flow equation was typically very small, i.e., about 2%.
The insensitivity of the computed results to H e indicates that the main influence of the nonaxisymmetry of the flow on the computed results is through DPR and DPA. After neglecting H c , the input to a calculation would consist of only the total pressure loss, the exit flow angle, and DPR and DPA. The potential of further simplifying the input by specifying either DPR or DPA was explored as discussed below.
Case B: Neglecting DPR or DPA . Since DPR was larger than DPA in the region aft of the rotor (Fig.  4) and since DPA was larger than DPR in the regions aft of the stators (Figs. 3 and 5 ) a calculation was carried out neglecting the smaller of the two correction terms at each calculation plane, i.e. setting DPA = 0 in the region aft of the rotor and setting DPR = 0 in the regions aft of the stators. The objective here was to reduce the amount of inpt required by the present formulation to be equal to that required by the blockage formulation. The impace of this simplification was to produce errors in the stage static, and absolute and relative total pressure rises of from 4% to 7%. In all cases these errors were negative, i.e. reductions in pressure rise. The errors in incidence were typically t1°. These errors may seem unacceptable but it should be kept in mind that this is a very severe near stall flow condition and that the errors at design flow conditions could be much smaller.
Case C: Neglecting DPR and DPA . A calculation was carried out with DPR and DPA set to zero at all locations. The impact of this simplification was to produce errors in the stage static, and absolute and relative total pressure rises of from 5% to 14%. In all cases these errors were positive, i.e. increases in pressure rise. The errors in incidence were typically +3° to -6°.
Case D: Blockade Calculation with Consistent Angles . A final comparison was carried out which was based on the blockage formulation. However, instead of using mass averaged exit angles (as had been done previously, Dring and Joslyn, (1986d and 1987) ), the a 10 exit angles were based on the mass (and not area) averaged velocity components. The differences between these definitions are very small at the first stage stator exit and at the second stage rotor exit. For the second stage stator exit, however, the differences are large near the hub (up to 4°).
For this compressor it made very little difference which angle definition was used. Where the agreement had been poor, as at the second stator exit near the hub, the blockage formulation gave similar poor agreement regardless of the differences in the input data. The previous assessment of the blockage formulation (Dring and Joslyn, (1986d and 1987) ) indicated that the error between the measured and the computed results in this region was typically 5°. The impact of using the more consistent angle difinition was very small (-1% in pressure rise and -0.3° in incidence). Using a more consistent angle definition in a basically inconsistent formulation doesn't appear to improve it significantly.
CONCLUSIONS
A formulation of a through flow theory for nonaxisymmetric flow in turbomachinery has been assessed (1) against a benchmark data base for a low speed two stage compressor operating at near stall conditions, and (2) against an approximate through flow formulation based on aerodynamic blockage factors. The present formulation satisfies both the mass flow requirements through the use of density averaged velocity components, as well as the thermodynamic requirements through the use of mass averaged conservation conditions. While the theory does not require aerodynamic blockage as input, it does require the specification of at least two parameters describing the nonaxisymmetric nature of the flow (DPR and DPA). Specific conclusions are as follows.
1.
The present formulation produces a result which is significantly more accurate than that of the approximate blockage formulation.
2.
Modeling nonaxisymmetric effects with a multiplier on the continuity equation (blockage) is inconsistent and inaccurate.
3.
Nonaxisymmetric effects should be modeled as correction terms for the quantities that are conserved on stream surfaces (entropy, rothalpy and angular momentum). These corrections could be based on detailed documentation of the flow field, as in the present assessment. Where such detail is not available, they could be inferred from the data that is available in the same manner as has historically been done for blockage.
4.
Flow angles must be defined as the arc tangent of the density averaged tangential velocity component divided by the density averaged axial velocity component (Eqs. 25 and 26 of Part I) and not as averaged angles.
5.
The choice of the definition of the flow angles can significantly alter airfoil incidence.
6.
Not only are the flow angles based on averaged velocity components necessary for an accurate through flow analysis, but they also give a more accurate result in the airfoil potential flow analysis.
7.
Total pressure losses must be mass averaged. There are significant differences between area and mass averaged losses.
8.
The terms DPR and DPA (Eqs. 10 and 11) are sufficient to accurately describe the effects of the nonaxisymmetry in the flow.
9.
Care must be taken when using the diffusion factor calculated in a through flow analysis as a measure of airfoil loading. The value that is calculated depends strongly on the nature of the through flow formulation (present vs. blockage). Local differences approaching 60% were demonstrated.
10.
The magnitude of the diffusion factor calculated in the blockage formulation depends strongly on whether it is based on "blocked" or "unblocked" velocities. Local differences approaching 45% were demonstrated.
